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Abstract

A model is proposed to describe the mechanical behavior and the ductile failure

at 25, 350 and 480 ◦C of Zircaloy–4 cladding tubes, as-received and hydrided up

to 1200wt. ppm (circumferential hydrides). The model is based on the Gurson–

Tvergaard–Needleman model extended to account for plastic anisotropy and

viscoplasticity. The model considers damage nucleation by both hydride crack-

ing and debonding of the interface between the Laves phase precipitates and the

matrix. The damage nucleation rate due to hydride cracking is directly deduced

from quantitative microstructural observations. The other model parameters are

identified from several experimental tests. Finite element simulations of axial

tension, hoop tension, expansion due to compression and hoop plane strain ten-

sion experiments are performed to assess the model prediction capability. The

calibrated model satisfactorily reproduces the effects of hydrogen and temper-

ature on both the viscoplastic and the failure properties of the material. The

results suggest that damage is anisotropic and influenced by the stress state for

the non–hydrided or moderately hydrided material and becomes more isotropic

for high hydrogen contents.
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1. Introduction

Zirconium alloy fuel claddings are oxidized by the coolant water during nor-

mal operation in Pressurized Water Reactors (PWRs). A fraction of the hydro-

gen released is absorbed and diffuses into the cladding. The hydrogen is partly

dissolved in the crystal lattice of zirconium but beyond the solubility limit of

hydrogen in the metal, which is quite low (about 100wt. ppm) at the cladding

operating temperature (around 350 ◦C), the excess hydrogen atoms precipitate

as hydride platelets. In Zircaloy–4 fuel cladding, hydrides are mainly oriented

with their normal aligned along the tube radial direction (circumferential hy-

drides). Mean hydrogen contents up to 600wt. ppm are observed in high burnup

Zircaloy–4 cladding [1]. Higher hydrogen contents can be reached locally, due to

thermal diffusion of hydrogen toward the colder outer surface of the cladding.

These localized hydrogen–rich areas are called hydride rims or blisters. The risk

of cladding failure during in–reactor transient events may be increased, due to

the embrittling effect of hydrogen. For instance, during a Reactivity Initiated

Accident (RIA), caused by the ejection of a control rod assembly in PWRs, the

cladding tube would be submitted at the beginning of the transient to a fast

(strain rate of about 1 s−1) and biaxial mechanical loading (along cladding hoop

and axial directions) due to Pellet–Clad Mechanical Interaction (PCMI) [2, 3].

During this early stage of the transient, cladding temperature quickly increases

(heating rate of the order of 104 ◦C.s−1) up to 600 ◦C on the tube inner sur-

face while it remains around 350 ◦C on the outer surface [2]. Full–scale in–pile

experiments performed in the NSRR or the CABRI reactors [4, 5] have shown

that, in the case of Zircaloy–4 cladding, the fuel rod can withstand a lower level

of deposited energy during the RIA transient when it has a very high burnup,

due in particular to hydrogen–induced cladding embrittlement. The mechani-

cal properties of the cladding material depend among other things on hydrogen

content, temperature and stress/strain state [3, 6, 7, 8, 9].

Relevant failure models or criteria are needed for an accurate evaluation of

the risk of cladding failure during in–reactor transients such as a RIA. Cladding
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failure criteria used in transient fuel behavior codes for the PCMI stage are

mostly expressed in terms of a critical strain [10] or a critical strain energy

density [11, 12] or are based on a fracture mechanics approach [13]. These

global (from a material point of view) criteria are usually established on the basis

of separate–effect tests performed out–of–pile in laboratories. Their relevance

depends on the representativeness of the mechanical tests with respect to the

actual cladding thermal–mechanical loading and failure mode during a RIA.

Most of the tests currently available reproduce only approximately these features

[3, 8], which are quite difficult to generate out–of–pile, although some efforts

were and are still made to manage it [8, 9, 14, 15, 16]. Generally, corrective

factors are applied in order to take into account the differences in mechanical

loading (biaxiality and strain rate in particular) between separate–effect tests

and the actual conditions [12, 16]. However, it has been shown that the failure

mode of the specimen depends on the type of test (specimen geometry, stress

state, . . . ) and, often, is not fully representative of the PCMI–induced cladding

failure [8]. Furthermore, the accurate interpretation of the test is sometimes

tricky due for instance to the complex stress and strain fields generated.

Physically–based models, based on the local approach to fracture, may pro-

vide a better understanding of both the local material damage/failure mecha-

nisms and the global specimens fracture modes, in order to justify or to improve

the more global failure criteria used in fuel behavior codes. A priori, this kind

of model is not limited to a particular sample geometry and a good transferabil-

ity of laboratory test results to the larger and more complex actual component

can be expected. Some of the most used models based on the continuum dam-

age mechanics are those proposed by [17] and [18], based on a thermodynam-

ical approach, and the model developed by [19], later modified by Tvergaard

and Needleman [20, 21], initially based on a micromechanical approach. A mi-

cromechanical model, based on an extension of the void growth model of Rice

and Tracey [22], was proposed in [23] to predict the ductile tearing of wrought

alpha–annealed and beta–treated Zircaloy–2 and Zircaloy–4 without hydrogen.

A model was developed in [24] to describe the mechanical behavior, including
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damage, of Zircaloy–4 with hydrides of arbitrary orientation. The Zircaloy–4

matrix is modeled as an isotropic elastoplastic material and the hydrides are rep-

resented as elastic brittle inclusions with damage and preferred directions (e.g.

circumferential and radial hydrides). The mechanical response of the material

is derived from a stored potential strain-energy function. Unfortunately, the

prediction capability of this model was illustrated on the basis of a very limited

number of experimental data and the model is not yet able to predict the fracture

of radial hydrides. A model based on the continuum damage mechanics, with a

damage variable tuned for fresh (non–hydrided) Cold–Worked Stress Relieved

(CWSR) Zircaloy–4 for temperatures of 25 and 350 ◦C, was recently proposed

and applied to simulate the fracture of fuel claddings under PCMI loading dur-

ing a RIA [25]. A Gurson–Tvergaard–Needleman (GTN) model with isotropic

perfect plasticity was used in [26] to reproduce the mechanical behavior and the

ductile failure of Zr–2.5Nb pressure tube material but it was anticipated that

a better agreement with the experimental data would be obtained using more

accurate model parameters and by taking into account strain hardening and

anisotropy of elasticity and plasticity.

In this paper, a model based on the GTN model is proposed to describe

the anisotropic viscoplastic mechanical behavior and the ductile fracture, at

25, 350 and 480 ◦C, of CWSR Zircaloy–4 tubes, as–received and hydrided (uni-

form distribution of circumferential hydrides across the tube thickness) up to

1200wt. ppm. Some of the model parameters are directly related to measurable

damage quantities (porosity, void nucleation rate, . . . ). This formalism was

already successfully applied to represent the ductile fracture, at room temper-

ature, of hydrided recrystallized Zircaloy–4 sheets [27]. The present model was

adjusted by using the experimental data reported in a previous paper [8], which

are summarized hereafter. Several types of tests, with various loading directions

and stress/strain states, were performed with a mean strain rate of about 0.1 s−1:

Axial Tension (AT), Hoop Tension (HT), Expansion Due to Compression (EDC)

and hoop Plane Strain Tension (PST). It was shown that the plasticity of the

material is anisotropic. Plastic anisotropy depends on temperature but is not

4
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significantly modified by hydrogen. The material mechanical strength decreases

with increasing the temperature and the content of dissolved hydrogen and in-

creases with increasing the precipitated hydride content. The material ductility

increases with increasing temperature. A higher ductility is observed along the

circumferential direction compared to the axial direction. At room temperature,

the material is embrittled by hydrogen precipitated in the form of circumfer-

ential hydrides. At 350 ◦C and 480 ◦C, hydrogen, which is partially dissolved

into the metal, does not have any significant effect on material ductility. A

ductile fracture mode, involving void nucleation, growth and coalescence, was

observed whatever the tested condition. In the non–hydrided material what-

ever the temperature and in the hydrided material tested at 350 ◦C and 480 ◦C,

damage nucleation essentially occurs around Laves phase precipitates (within

grains and at grain boundaries) and at grain boundary triple nodes. In the case

of the hydrided material tested at room temperature, void nucleation is mainly

caused by hydride cracking. Damage due to hydride cracking at room temper-

ature occurs for a plastic strain higher than 0.08 and is faster with increasing

hydrogen content. It is not significantly influenced by stress triaxiality in the

studied range (from 1/3 to 1/
√
3). No hydride cracking was observed at 350 ◦C

and 480 ◦C.

The model proposed to reproduce these results is described in Section 2.

Model parameters adjustment is presented in Section 3. In Section 4, the model

is applied for finite element analysis of various mechanical tests.

2. Description of the model

2.1. Gurson–Tvegaard–Needleman potential

The potential of the Gurson–Tvergaard–Needleman model extended to anisotropic

and viscoplastic behaviors is expressed as follows:

Φ(σ, σ⋆, f⋆) =

(

σH

σ⋆

)2

+ 2q1f⋆cosh

(

q2
3

2

σm

σ⋆

)

− 1− q3f
2
⋆ (1)

where σ is the macroscopic stress tensor, σm = σkk/3 is the macroscopic mean

stress, f⋆ is the effective porosity and q1, q2 and q3 are constant parameters
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introduced on a phenomenological basis by Tvergaard and Needlemann [20,

21, 28] in order to take into account strain hardening and interaction between

neighboring cavities. σH is the macroscopic Hill equivalent stress [29] used to

represent plastic anisotropy:

σH =
√

σ : H : σ (2)

where H is a symmetric fourth rank tensor. When expressed in the anisotropy

principal axes, which coincide with the tube reference system axes (radial direc-

tion r, circumferential direction θ and axial direction z), the equivalent stress is

calculated as:

σH =
[

Hrr(σθθ − σzz)
2 +Hθθ(σzz − σrr)

2 +Hzz(σrr − σθθ)
2 + 2Hrθσ

2
rθ + 2Hrzσ

2
rz + 2Hθzσ

2
θz

]1/2

(3)

This modification of the former GTN model only affects the contribution of

deviatoric stresses. Damage remains isotropic. σ⋆ is the effective stress (in the

matrix) of the porous material. It is implicitly defined by:

Φ(σ, σ⋆, f⋆) = 0 (4)

2.2. Damage description

The total porosity (having a mechanical effect), ft, is expressed as a function

of the porosity caused by the nucleation of new voids, fn, and the porosity caused

by the growth of existing voids by plastic deformation, fg:

ft = fn + fg (5)

According to the observations detailed in [8], two state variables are used to

describe void nucleation: fnL corresponding to the nucleation of initially spher-

ical voids by debonding of the interface between the Laves phase precipitates

and the matrix and fnH corresponding to the nucleation by hydride cracking of

rectangular penny–shaped type voids or microcracks:

fn = fnL + fnH (6)

6
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The GTN model is based on the analysis of a unit cell consisting of a single

void, replacing randomly distributed voids, surrounded by a matrix subjected to

periodic boundary conditions. Voids nucleated around Laves phase precipitates

are randomly distributed but cracking of large hydrides results in the formation

of groups of aligned voids. However , it is considered in a first approach that the

potential effect of this non–uniform distribution of hydride–initiated voids on

the overall mechanical properties can be neglected. Furthermore, it is important

to keep in mind that the model proposed in this paper was tuned for Zircaloy–4

cladding tubes containing circumferential hydrides and loaded in tension along

the hoop and axial directions. In other words, the model correctly describes the

effect of hydrides when they are mostly parallel to the tensile direction(s) but

it should not be applied in its current form when the tensile loading direction is

perpendicular to the hydride platelets (e.g. a cladding tube with radial hydrides

submitted to tension along the hoop and/or the axial directions or a cladding

with circumferential hydrides loaded in tension along the radial direction) since

it well-known that the embrittlement due to the presence of hydrides is more

important in this last configuration [30].

Gologanu et al. [31] proposed an extension of the GTN model to materials

containing ellipsoidal voids and showed that the effect of a crack on damage

is equivalent to the effect of a void having the same projected area. Then,

the microcracks generated by hydride cracking are assumed to have the same

mechanical effect than cylindrical voids with the same projected area within

the plane perpendicular to the principal loading direction (Fig. 1). Contrary

to the nucleation of voids created by debonding (after debonding, the particle

inside the void is not expected to have a mechanical contribution anymore), the

nucleation of microcracks does not induce a variation of porosity. Therefore,

although its mechanical effect is well taken into account through the expression

of the effective nucleation porosity fn (Eq. 6), the fictional volume due to the

nucleation of microcracks by hydride cracking must not be included into the

7
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actual porosity (associated with a volume variation), which is then given by:

f = fnL + fg (7)

A similar approach was used in [27], [32] and [33]. The void growth rate is

governed by mass conservation (it is assumed that porosity is not modified by

an elastic volume variation):

ḟg = (1− f)tr(ǫ̇p) = (1− f)2ṗn : I (8)

where n is the flow direction and I is the second order unit tensor. In order to

account for the acceleration of void growth during void coalescence, the effective

porosity, expressed here as a function of the total porosity ft, is described as

follows [20]:

f⋆(ft) =











ft if ft < fc

fc + δ(ft − fc) otherwise

(9)

where fc is the critical porosity at which void coalescence begins (so that the

porosity is more damaging than if it remained spherical) and δ is a phenomeno-

logical factor introduced to artificially accelerate void growth:

δ =
f⋆u − fc
ff − fc

> 1 (10)

Failure occurs when f⋆ = f⋆u = 1/q1, i.e. when ft = ff = fc + (f⋆u − fc)/δ.

For the sake of simplification, the model does not explicitly describe, as done

for example by [34] or [35], the acceleration (by a void sheet mechanism) of the

coalescence of primary voids (created by hydride cracking) due to the presence

of secondary voids (resulting from the debonding of the matrix around the Laves

phases) within the shear bands between them. However, this acceleration can

be implicitly reproduced through the fc and δ parameters.

2.3. Viscoplastic flow

The viscoplastic flow potential is expressed as follows:

Ω = σ⋆ ≥ 0 (11)

8
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The viscoplastic strain rate tensor is obtained by assuming the normality rule:

ǫ̇
p = (1− f)λ̇

∂Ω

∂σ
= (1− f)λ̇

∂σ⋆

∂σ
(12)

where λ̇ is the plastic multiplier given by the viscoplastic flow law of the material,

Fvp :

λ̇ = Fvp(Ω) (13)

σ⋆ is an homogeneous differentiable function of degree 1 of σ. According to the

Euler theorem, (∂σ⋆/∂σ) : σ = σ⋆. Then Eq. 12 gives:

ǫ̇
p : σ = (1− f)λ̇

∂σ⋆

∂σ
: σ = (1− f)λ̇σ⋆ (14)

By enforcing equality between microscopic plastic dissipation and macroscopic

plastic work:

ǫ̇
p : σ = (1− f)ṗσ⋆ (15)

the evolution of the accumulated viscoplastic strain p is obtained by comparison

with Eq. 14:

ṗ = λ̇ = Fvp(Ω) (16)

The viscoplastic strain tensor is then given by:

ǫ̇
p = (1− f)ṗn with n =

∂σ⋆

∂σ
(17)

σ⋆ being implicitly defined, the flow direction n can be calculated by noting

that for a given porosity a variation of σ induces a variation of σ⋆ so that Φ

remains equal to zero:

δΦ =
∂Φ

∂σ
: δσ +

∂Φ

∂σ⋆
δσ⋆ = 0 (18)

Then:

n = −
(

∂Φ

∂σ⋆

)−1
∂Φ

∂σ
(19)

with
∂Φ

∂σ⋆
= −

2σ2
H

σ3
⋆

−
3f⋆q1q2σm

σ2
⋆

sinh

(

q2
3

2

σm

σ⋆

)

(20)

and
∂Φ

∂σ
=

2

σ2
⋆

H : σ +
f⋆q1q2
σ⋆

sinh

(

q2
3

2

σm

σ⋆

)

I (21)

9
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3. Identification of the model parameters

3.1. Methodology

Nine parameters of the model have to be determined: the viscoplastic flow

law Fvp, the Hill tensor H, the nucleation laws respectively related to Laves

phase precipitates ḟnL and to hydrides ḟnH , the q1, q2 and q3 parameters, the

critical porosity leading to void coalescence fc and the acceleration parameter

δ. Experimental results given in [8] were used to adjust these parameters and

to evaluate the prediction capability of the model.

The model was implemented into the finite element code Cast3M developed

at CEA (http://www-cast3m.cea.fr/) by using the UMAT (User MATerial)

subroutine. A fourth order Runge–Kutta method with an adaptive step size

control was used to integrate the model internal variables. Due to numerical

difficulties (equilibrium of the whole structure) appearing when the material at

one or a few Gauss points is broken (i.e. when the critical value for damage

has been reached), it has not been possible to simulate with Cast3M the whole

fracture process of the specimens tested by [8]. Therefore, the study has been

focused on the prediction of crack initiation. Since crack propagation was not

fully simulated, symmetries of the investigated systems (AT, HT, EDC and PST

tests) were used, allowing a sufficiently small mesh size while keeping reasonable

computation times. Quadratic elements were used, with reduced integration so

that all Gauss points of a given element had the same volume and high pressure

variations inside the elements were avoided. Meshes and limit conditions used

to simulate the various tests reported in [8] are described in Section 4.

Since no damage was observed before plastic instability [8], the identification

of Fvp and H was made on the basis of experimental data obtained before

necking. q1, q2, q3 and δ were fixed to values commonly used in the literature.

ḟnH was directly deduced from the measured damage kinetics reported in [8].

ḟnL and fc were determined in order to obtain a good agreement between local

strains calculated by Finite Element Analysis (FEA) at crack initiation (failure

reached at one Gauss point) and local strains experimentally measured after

10
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specimen failure. It was considered that, except for HT tests performed on the

non–hydrided material or on the hydrided material at 350 ◦C and 480 ◦C, crack

initiation leads nearly instantaneously to final fracture of the sample (crack

propagation is unstable):

• In the case of AT (Axial Tension) specimens, finite element simulations

and strain measurements by Digital Image Correlation (DIC) have shown

that, for a sufficient strain level, two narrow localized plastic strain bands,

symmetric with respect to the specimen axis, appear inside the diffuse

neck. These bands are inclined at about 56◦ to the tensile axis. For the

non–hydrided material whatever the temperature or the hydrided mate-

rial tested at 350 ◦C and 480 ◦C, fracture initiates at the junction of these

bands and propagates along one of them [8]. Once these bands have de-

veloped, the material on both sides of the bands does not deform anymore

and the specimen width variation becomes negligible. Fracture of the hy-

drided specimens tested at room temperature occurs suddenly before the

formation of these bands, perpendicularly to the tensile direction. In that

case, specimen deformation between crack initiation and final fracture is

very small. Then it was considered that, whatever the conditions tested

by [8], AT specimen width variation at crack initiation is very close to the

width reduction of the broken specimen.

• On the one hand, in the case of HT (Hoop Tension) tests performed

whatever the temperature on the material non–hydrided or hydrided at

400wt. ppm or at 350 ◦C and 480 ◦C on the hydrided material, the crack

initiated at the center of the specimen gauge propagates in a relatively

stable manner along the specimen width [8]. Specimens width contraction

continues after initiation of the central crack, until final fracture. There-

fore, the strain profile is very different at crack initiation and at fracture.

On the other hand, these profiles are probably close in the case of the

HT hydrided specimens tested at room temperature, which fail suddenly

perpendicularly to the loading direction.

11
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• Failure of non–hydrided EDC (Expansion Due to Compression) specimens

occurs by through–thickness crack propagation along a plane inclined at

45◦ from the principal loading direction [8]. The hydrided material tested

at room temperature fails along a macroscopic plane orthogonal to the

principal loading direction. In both cases, the specimen outer diameter

does not significantly evolve between crack initiation and final fracture.

• Macroscopic failure modes of PST (Plain Strain Tension) specimens are

close to those of EDC specimens [8] and it is expected that local strains

of PST specimens at crack initiation and at failure are not very different.

Predictions of the model were thus evaluated on the basis of width reduction

profiles for AT and HT tests, variation of the outer diameter for EDC tests and

hoop strain at the outer surface for PST tests. Although plastic anisotropy,

which affects void growth, is taken into account, it has not been possible to

determine a single set of parameters making it possible to accurately simulate

all the tests. This can be attributed to an anisotropy of damage, which is not

accounted for in the model. Nevertheless, in order to improve the knowledge of

material damage and specimens failure, a first set of parameters was determined

on the basis of AT tests only. Then these parameters were used to simulate the

other tests.

3.2. Plastic anisotropy

For the determination of H, the axial direction was fixed as the reference

one, leading to σH = σzz for an AT test (normalization condition). As shown in

[8], plastic anisotropy depends on temperature and is independent on hydrogen

content up to 1200wt. ppm (circumferential hydrides). The Hill coefficients

previously identified in [36], with a dependence on temperature, are used in the

present work. The good agreement with the experimental data reported in [8]

is verified in Fig. 2.

12
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Zr(Fe,Cr)  precipitate 2

(a)

Hydride

(b)

Figure 1: Void nucleation by (a) debonding of the interface between the Laves phase precipi-

tates and the matrix and (b) hydride cracking.
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Figure 2: Experimental and calculated evolutions as a function of temperature for various

hydrogen contents of the ratio of axial to hoop plastic strains measured during AT tests.
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3.3. Viscoplastic flow of the undamaged material

A multiplicative non–linear isotropic hardening model is used to describe the

viscoplastic flow of the undamaged material, Fvp. The equivalent viscoplastic

strain rate is given by:

ṗ = ṗ0

(

σH(T )

η(p, T, CHs, CHp)

)1/m(T )

(22)

where m is the strain rate sensitivity coefficient, ṗ0 is the reference strain rate

fixed to 1 s−1. η is a non–linear viscosity coefficient which can be expressed as:

η(p, T, CHs, CHp) = K(T,CHs, CHp)L(p, T, CHp) (23)

where K is the strength coefficient and L is the strain hardening coefficient de-

pending on p. Note that the instantaneous strain hardening exponent is given

by n = ∂ lnL/∂ ln ǫp in the case of a uniaxial loading. According to the ex-

perimental results [8], the strength coefficient K depends on temperature T ,

hydrogen in solid solution content CHs and precipitated hydride content CHp.

The influence of hydrides on K decreases when temperature increases, as me-

chanical properties of hydrides evolve with temperature. The strain hardening

coefficient L is expressed as a function of plastic strain, temperature and hy-

dride content. Tests reported in [8] were performed under only one strain rate

(0.1 s−1). Therefore, the value proposed in [36] for m is used to describe the

temperature dependent strain rate sensitivity of the material, which is assumed

to be independent on hydrogen content according to [37]. Dissolved and pre-

cipitated hydrogen contents are evaluated from the total hydrogen content CH

and the terminal solubility limit of hydrogen Cs:

CHs(T ) = min(CH ;Cs(T )); CHp(T ) = CH − CHs(T ) (24)

According to [38], the terminal solubility limit of hydrogen in Zircaloy–4 under

equilibrium conditions up to 550 ◦C is given by Cs(T ) = 99000 exp(−34523/RT ),

where R = 8.314 J.mol−1.K−1 is the gas constant.

Since no damage was experimentally observed before the onset of necking

[8], the viscoplastic flow law was adjusted without taking into account any
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coupling with damage. Moreover, isothermal conditions are assumed since the

adiabatic heating due to plastic dissipation is not expected to be significant for

the conditions tested in [8], according to the results discussed in [39]. While

considering the normalization condition chosen for the determination of Hill

coefficients, the model parameters K and L were identified using only AT test

results. A least squares fitting method, based on AT stress–plastic strain data

before necking, was used. Values of the adjusted parameters are reported in

Table 1.

As shown in Fig. 3, the model accurately reproduces the plastic properties

of the material up to uniform elongation. In particular, the combined effects

of temperature and hydrogen content on strength and strain hardening are cor-

rectly described.

3.4. Void nucleation

3.4.1. Debonding between the Laves phase precipitates and the matrix

Void nucleation by debonding of the interface between Laves phase precipi-

tates and the matrix is considered to be controlled by plastic strain:

ḟnL = AnLṗ (25)

It is difficult to quantify experimentally the nucleation kinetics of these voids

because of the small size of the precipitates. Then the following nucleation law

is used:

AnL =











fNL

pNLf−pNLi
if pNLi < p < pNLf

0 otherwise

(26)

where pNLi is the minimum plastic strain at which nucleation starts and pNLf

is the maximum plastic strain at which nucleation stops. fNL is the volume

fraction of Laves phase precipitates around which void nucleation can occur.

Iron and chromium are nearly insoluble in the α phase of zirconium up to

800 ◦C [40]. By considering that all iron and chromium atoms precipitate in

the form of Laves phases Zr(Fe,Cr)2, the precipitates volume fraction can be

evaluated from the chemical composition of the material (1.3wt.% Sn, 0.21wt.%
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Table 1: Model parameters relative to plastic anisotropy and viscoplasticity (T in K, CHs and

CHp in wt. ppm).

Elasticity [36]:

E = 1.059 · 1011 − 36 · 106T , ν = 0.342

Strain rate sensitivity [36]:

m = 1/[77.68MT + 4.11(1−MT )]

where MT = 1/[1 + exp(10.2(T/692− 1))]

Strain hardening:

L = (p+ 1 · 10−4)n0 exp(−αnp) + (1− exp(−αnp))

with n0 = (1 + 1.45 · 10−4CHp)[4.86 · 10−2N0T + 2.35 · 10−2(1−N0T )]

where N0T = 1/[1 + exp(12(T/(810− 9.19 · 10−2CHp)− 1))]

and αn = (53.16 + 1.27 · 10−2CHp)[1 + exp(11.1(T/738− 1))]

Strength:

K = [1− 1.175 · 10−4CHs+(6.15 · 10−5− 4.38 · 10−8T )CHp][(1.409 · 109 − 8.952 ·

105T )KT + 4.05 · 107(1−KT )]

where KT = 1/[1 + exp(1.77(T/1007− 1))]

Plastic anisotropy [36]:

Hrr = 0.485 + 9.5 · 10−2/[1 + exp(12(T/740− 1))]

Hθθ = 1−Hrr

Hzz = 0.52 + (−0.23 + 4 · 10−4T )/[1 + exp(15(T/550− 1))]

Hrθ = Hrz = Hθz = 1.5
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Figure 3: Experimental and calculated evolutions as a function of hydrogen content of the

yield stress at 0.2% plastic strain S
0.2%
Y

for AT tests and the ultimate (or maximum) stress

SU for AT and HT tests performed at (a) 25 ◦C, (b) 350 ◦C and (c) 480 ◦C. (d) Experimental

and calculated variations of the uniform elongation at the onset of necking (plastic strain

corresponding to SU ) eU as a function of hydrogen content for AT tests conducted at 25 ◦C,

350 ◦C and 480 ◦C.
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Fe, 0.11wt.% Cr, 0.128wt.% O, Zr balance): fL = 0.0045. A similar value

was found by [41]. It has been observed that Laves phase precipitates are

preferential sites for the nucleation of damage in the non–hydrided material

whatever the temperature and in the hydrided material tested at 350 ◦C and

480 ◦C. It is assumed that all Zr(Fe,Cr)2 precipitates are likely to contribute

to void nucleation so that fNL = fL = 0.0045. This is a strong assumption,

quite difficult to verify experimentally and then made for lack of more precise

information, but it appears that this assumption is reasonable since, as it will

be shown, the model describes quite well the failure of the material.

Values of 0.04 and 0.3 were respectively found by inverse analysis for pNLi

and pNLf for AT tests, whatever the temperature. Therefore, void nucleation

by debonding of the interface between the matrix and Laves phase precipitates

starts at the onset of necking within the specimen.

3.4.2. Hydride cracking

According to experimental observations [8], void nucleation by hydride crack-

ing at room temperature is controlled by plastic strain of the matrix:

ḟnH = AnH ṗ (27)

Hydrides fail only when they are submitted to a tensile loading. Thus the

previous equation applies only if σkk > 0. Otherwise, ḟnH = 0. Damage

nucleation kinetics due to hydride cracking was quantified in [8] as a function

of plastic strain by counting the number of voids on thickness–length cross–

sections of specimens failed at room temperature. The crack density NH was

measured at different distances from the specimen fracture surface and related

to the measured local plastic strain. According to experimental observations

[8], damage is considered to be homogeneous across the specimen width so

that the damage observed in the thickness–length plane is representative of

the specimen damage. The microcracks resulting from hydride cracking under

uniaxial tension appear as elongated rectangles in the plane perpendicular to

the loading direction (width dH and length lH along the specimen thickness and
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width, respectively). It is assumed that all microcracks have initially the same

width dH , taken equal to the mean value of microcracks width measured in [8]

(i.e. 0.4µm), which is obviously close to the mean thickness of hydrides. These

microcracks are supposed to have the same mechanical effect than cylindrical–

shaped voids with the same projected area dH lH (Fig. 1) [27]. Then, the

nucleation porosity can be evaluated from the crack density NH measured by

[8]:

fnH =
πd2HNH

4
(28)

Fig. 4 shows the evolution of the nucleation porosity as a function of the

equivalent plastic strain.

Equivalent plastic strain

f n
H

0 0.1 0.2 0.3 0.4 0.5 0.6
0

0.005

0.01

0.015

0.02
EDC

400 ppm
800 ppm

1200 ppm

AT HT

Figure 4: Nucleation porosity due to hydride cracking as a function of equivalent plastic strain

for AT, HT and EDC tests performed at room temperature on the material containing various

hydrogen contents.

The void nucleation rate is obtained by deriving Eq. 28. The void nucleation

intensity is then given by:

AnH =
πd2H
4

dNH

dp
(29)

Nucleation kinetics by hydride cracking at room temperature are not exactly the

same under axial tension and hoop tension. The model in its current form does

not take this anisotropy of damage into account. However, in a first approach,

AnH is adjusted by using only AT tests results (this arbitrary choice was made

because there were a little bit more data available for this type of test). The
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normal law proposed in [42] is retained :

AnH =
fNH

sNH

√
2π

exp

(

−
1

2

(

p− ǫNH

sNH

)2
)

(30)

where fNH is the volume fraction of hydrides that can contribute to void nu-

cleation, ǫNH = 0.331 − 1.41 · 10−4CHp is the average nucleation strain and

sNH = 5.97·10−2−2.25·10−5CHp is the standard deviation of the failure strains

distribution. The volume fraction of hydrides can be expressed as a function of

the total precipitated hydrogen content CHp (in wt. ppm): fZrH = 6.7·10−5CHp.

Eq. 24 is used to obtain CHp from the total hydrogen content and the tempera-

ture. According to the observations made by [8], hydrides do not fail at 350 ◦C

and 480 ◦C. The volume fraction of hydrides that are likely to break thus depends

on temperature. According to [43], [44], [45] and [46], the embrittling effect of

hydrides decreases beyond about 100 ◦C and becomes negligible around 300 ◦C.

On the basis of these results, fNH is expressed as a function of fZrH and T (in

K) so that fNH = fZrH at room temperature and fNH = 0 above about 300 ◦C:

fNH = fZrH/[1 + exp(18(T/450 − 1))]. This transition law as a function of T

is approximate since, actually, it may depend on the material, the morphology

of hydrides and the type of test.

3.5. Void coalescence

The values of q1, q2 and q3 parameters, introduced to account for interac-

tions between neighboring voids, are generally obtained on the basis of unit cell

calculations describing one type of interaction. Here, values commonly used in

the literature are chosen: q1 = 1.5, q2 = 1 and q3 = q21 . The effective porosity

to fracture then equals f⋆u = 1/q1 ≈ 0.67.

The function f⋆ (Eq. 9) includes two adjustable parameters: fc and δ. Most

of the load–displacement curves measured by [8] do not show any significant

crack propagation slope before final failure and, as already mentioned, it has

not been possible to simulate crack propagation for these tests. Therefore, δ

was arbitrary fixed to 5 whatever the temperature and the hydrogen content,

knowing that values reported in the literature are generally comprised between 3
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and 8. The critical porosity leading to void coalescence cannot be reliably deter-

mined from the metallurgical observations reported in [8]. fc was thus evaluated

by inverse analysis on the basis of mechanical testing results. It was considered

that fc does not depend on stress and strain triaxiality. The identification gives

fc = 0.0045 in the absence of hydride cracking (non–hydrided material or hy-

drided material tested at 350 ◦C and 480 ◦C). Void coalescence thus occurs for a

porosity equal to the volume fraction of Laves phase precipitates around which

voids can nucleate (fNL). The low strain hardening of the material may explain

this low value of fc. For all investigated levels of hydrogen, a value of 0.03 was

found for fc when void nucleation mainly occurs by hydride cracking at room

temperature. This value is close to the maximum nucleation porosity measured

for the material hydrided at 1200wt. ppm (Fig. 4). Therefore, in the highly hy-

drided material, void growth is limited before coalescence and failure is mainly

controlled by hydride cracking. In order to take into account the effects of hydro-

gen content and temperature on the main damage mechanism (hydride cracking

or debonding of the interface between Laves phase precipitates and the matrix),

the critical porosity leading to void coalescence is expressed as follows, using the

temperature dependency adjusted for fNH for the critical porosity associated

to hydride cracking: fc = max(0.0045; 0.03/[1 + exp(18(T/450− 1))]).

fc is higher when void nucleation mainly results from hydride cracking than

when it occurs by debonding of the matrix/Laves phase precipitates interface

(but the void nucleation kinetics is faster when it is due to hydride cracking).

This is in accordance with the results reported by [47] showing that the higher

the initial porosity the higher the porosity for which coalescence occurs. Indeed,

volume fraction of hydrides likely to contribute to void nucleation, fNH , is

greater than volume fraction of Laves phase precipitates around which void

nucleation can occur, fNL. Finally, the porosity at failure, ff = fc+(f⋆u−fc)/δ,

equals 0.137 in the absence of hydride cracking and 0.157 when void nucleation

essentially occurs by hydride cracking at room temperature.
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3.6. Mesh size

Finite element calculations performed with models based on a local approach

are mesh size dependent due to the material softening resulting from damage.

Mesh size can be related to metallurgical parameters such as grain size or dis-

tance between inclusions [18, 48] but the most common approach to solve this

problem consists in considering mesh size as an adjustable parameter. A mesh

size of 50×50µm was determined by [37] for recrystallized Zircaloy–4, hydrided

or not, tested at room temperature. In order to have a satisfactory descrip-

tion of local mechanical fields while keeping reasonable computation times, a

mesh size of 100×100×100µm (100×100µm in 2D) is chosen here, whatever the

temperature and the hydrogen content. This mesh size is assimilated to a mate-

rial parameter (characteristic length) and should be similar for all calculations.

Calculations were performed for some of the tested conditions with the model

presented in the present paper with mesh sizes of 75, 100 and 200µm. The

results have shown that the initiation of failure occurs a little bit sooner in the

case of the finer mesh but the difference is not very large. A larger sensitivity

to mesh size is expected for the stage of crack propagation but the simulation

of this last stage is not the main issue of the present study, more focused on the

prediction of crack initiation. Adjusted values of model parameters are given in

Table 2.

4. Application of the model: finite element simulations

4.1. Axial tensile test

Only one eighth of the specimen is meshed. Standard symmetry conditions

are applied. The displacement is applied to the pin passing through the cladding

and the bored end–cap. As shown in Fig. 5, stress–plastic strain curves are

well reproduced by the calculations up to a global plastic strain level of about

0.08. The effects of temperature and hydrogen content are correctly taken into

account. Simulations over-predict the global plastic strain (deduced from the

cross–end displacement) at failure.
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Table 2: GTN model parameters adjusted on the basis of AT tests; for some parameters,

values identified from HT and EDC tests results are written within brackets (T in K et CHp

in wt. ppm).

Elasticity, behavior of the undamaged material, anisotropy:

see Table 1

Void nucleation:

AnL =











fNL

pNLf−pNLi
if pNLi < p < pNLf

0 otherwise

where fNL = 0.0045

pNLi = 0.04 (0.2 for hoop tension)

pNLf = 0.3 (1 for hoop tension)

AnH = fNH

sNH

√
2π

exp

(

− 1
2

(

p−ǫNH

sNH

)2
)

where fNH = 6.7 · 10−5CHp/[1 + exp(18(T/450− 1))]

ǫNH = 0.331− 1.41 · 10−4CHp

(0.544 for hoop tension for the material hydrided at 400wt. ppm)

sNH = 5.97 · 10−2 − 2.25 · 10−5CHp

Void coalescence:

q1 = 1.5, q2 = 1, q3 = q21

fc = max(0.0045; 0.03/[1 + exp(18(T/450− 1))])

δ = 5

Mesh size:

100×100×100µm in 3D, 100×100µm in 2D
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Figure 5: Experimental and calculated engineering stress–plastic strain curves for AT tests,

for various temperatures and hydrogen contents.

However, width reductions at failure are correctly predicted (Fig. 6). Width

reductions calculated at the global plastic strain at which failure is expected

to occur according to experimental stress–plastic strain curves are lower than

experimentally measured width reductions. This suggest that, due to the sig-

nificant elastic energy accumulated into the tensile machine (with a relatively

low stiffness) and the specimen (with an important length), AT tests take place

in a quite unstable manner so that the measured load–displacement curves do

not include the whole response of the specimen after necking. Besides, the later

strain localization predicted by the simulations may be partly due to the fact

that the description of necking, which is very sensitive to strain hardening and

strain rate sensitivity, is not perfect and that the viscoplastic flow law used

does not have a stress threshold. The excessively high strain level calculated at

480 ◦C far away from the fracture surface (Fig. 6(a)) is consistent with these

assumptions. These observations confirm that the adjustment of the parameters

of the model has to be based on local strain measurements rather than on global

stress–plastic strain curves.

The calculations satisfactorily reproduce the hydride–induced embrittlement

at room temperature, the negligible effect of hydrogen at 350 ◦C and 480 ◦C and

the increase in material ductility with increasing temperature. The model pa-
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Figure 6: Experimental and calculated width reductions at failure of AT specimens: (a)

profiles with respect to the fracture surfaces, (b) maximum values.

rameters that describe the damage associated with Laves phase precipitates do

not depend on temperature. Therefore, the increase in ductility when increasing

the temperature is due to the stabilizing effect on strain localization of material

viscosity, which increases with increasing temperature. As illustrated in Fig. 7,

experimental (measured by DIC) and calculated strain fields before failure of

AT specimens are in good agreement.

In the case of the non–hydrided material whatever the temperature and the

hydrided material tested at 350 ◦C and 480 ◦C, damage at crack initiation is

essentially localized at the center of the neck (Fig. 8), where stress and strain

triaxiality and thus void growth are maximum under the effect of localized

necking. Calculations show that damage of the hydrided material tested at

room temperature is more diffuse and mostly controlled by void nucleation. In

that case, the material fails before void growth becomes significant. The higher

the hydrogen content the more limited the void growth.

Whatever the conditions tested by [8], failure of AT specimens initiates at

about 3–4mm from the specimen mid–length plane. This location of crack

initiation is correctly predicted by the simulations. Deformation of the specimen

25



M
A

N
U

S
C

R
IP

T

 

A
C

C
E

P
T
E

D

ACCEPTED MANUSCRIPT

Figure 7: Green–Lagrange axial strain fields calculated by FEA and measured by DIC for

a maximum width variation of −0.13 at the outer surface of a non–hydrided AT specimen

tested at room temperature.

(a) (b) (c)

Figure 8: Total porosity fields calculated at crack initiation of AT specimens: (a) 25 ◦C,

non–hydrided material, (b) 480 ◦C, non–hydrided material, (c) 25 ◦C, material hydrided at

1200wt. ppm.
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is maximum at the ends of gauge lengths at the beginning of the test. These

heterogeneities move towards the mid–plane of the gauge lengths during loading.

Necking and then failure occur near these heterogeneities before these last reach

the mid–plane of the gauge lengths. Strain and porosity fields calculated at crack

initiation suggest that the orientation of the macroscopic plane of failure (56◦ or

90◦ to the main loading direction, depending on the condition) could have been

reproduced with a fitted mesh if crack propagation could have been simulated.

4.2. Hoop tensile test

According to symmetries, only one eighth of the system is considered. Stan-

dard boundary conditions are applied and a contact area involving sliding with

friction (Coulomb’s friction law with a coefficient of 0.4 [36]) is defined between

the inner surface of the ring specimen and the outer surface of the D–shaped

die insert. The cross-head displacement is applied on the mid–length plane of

the sample.

As shown in Fig. 9, stress–plastic strain curves are not perfectly reproduced

by the calculations for low global plastic strain levels. This deviation, which is

not observed in the case of AT tests (Fig. 5), is attributed to a perfectible de-

scription of strain hardening along the hoop direction: kinematic strain harden-

ing is not taken into account and model parameters describing strain hardening

were adjusted only on AT tests results. Kinematic strain hardening can induce

slightly faster void growth and strain localization than isotropic strain hard-

ening [33] but it is considered that local strains at failure are not significantly

modified.

Whatever the tested conditions, failure initiates according to the experiments

at the inner surface of the sample at the middle of its gauge length, where plastic

strain and triaxiality are the highest (Fig. 10).

Except for the material hydrided at 1200wt. ppm tested at room tempera-

ture, strains at failure of HT specimens are under–estimated by the calculations

(Figs. 9 and 11) performed by using the model with parameters identified in

a first approach on the results obtained under axial tension only. As already
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Figure 9: Experimental and calculated engineering stress–plastic strain curves for HT tests,

for various temperatures and hydrogen contents. Results of calculations performed with pa-

rameters adjusted on HT and EDC tests data are included.

(a) (b) (c)

Figure 10: Total porosity fields calculated at crack initiation of HT specimens: (a) 25 ◦C,

non–hydrided material, (b) 480 ◦C, non–hydrided material, (c) 25 ◦C, material hydrided at

1200wt. ppm.
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mentioned in Section 3, it has not been possible to correctly simulate both AT

tests and HT tests with a single set of parameters. Therefore, the difference in

ductilities measured during AT tests and HT tests [8] cannot be fully explained

by the difference of deformation and failure modes of the two types of speci-

mens. In particular, finite element calculations show that the higher ductility

of HT specimens by comparison to AT specimens is not due to a delayed plastic

strain localization.
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Figure 11: Experimental and calculated profiles of width reduction at failure with respect

to the fracture surface of HT specimens tested at room temperature. Results of calculations

performed with parameters adjusted on HT and EDC tests data are included.

As suggested in [8], damage and more precisely void nucleation is proba-

bly anisotropic in the non–hydrided material, maybe due to the material mi-

crostructure (e.g. grain morphology and distribution of precipitates) and crys-

tallographic texture [49]. Furthermore, the damage kinetics due to hydride

cracking measured after testing at room temperature have shown that, for hy-

drogen contents up to 800wt. ppm, hydrides crack for a higher plastic strain

under hoop tension than under axial tension (Fig. 4), possibly due to the mor-

phology of hydrides and/or to the material texture. This anisotropy of damage

cannot be represented by the model in its current form. Nevertheless, in order

to illustrate the effect of damage anisotropy, HT tests were simulated by in-

troducing a void nucleation around Laves phase precipitates delayed compared
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to void nucleation determined under axial tension and by adjusting ḟnH , for

the material hydrided at 400wt. ppm, on the damage kinetics measured for HT

and EDC tests: pNLi = 0.2, pNLf = 1 and ǫNH = 0.544, the other parameters

being unchanged. Note that strain values for void initiation (primarily from

Laves phase particles) in the order of 0.12–0.16 and 0.20–0.27 were deduced by

[23] from in–situ experiments performed at room temperature for wrought non–

hydrided alpha–annealed and beta–treated Zircaloy–4, respectively. As shown

in Figs. 9 and 11, a better agreement between experimental and calculated

results is obtained with these parameters. The ductility of AT specimens is

of course over–estimated with these parameters. These results illustrate the

anisotropy of hydride cracking for moderate hydrogen contents. As previously

done by [50], damage nucleation anisotropy could be accounted for in the model

by introducing different critical strain values (at which void nucleation starts)

for the different material directions.

In the case of the material hydrided at 1200wt. ppm, strains at failure are

correctly predicted by the model with parameters adjusted on AT tests results,

in accordance with the similar damage kinetics measured under axial and hoop

tension. Therefore, for high hydrogen contents, hydride cracking is isotropic,

damage being expected to be in that case mainly controlled by the density of

hydrides rather than by hydride morphology and/or material texture.

4.3. Expansion due to compression test

The EDC specimen is submitted at its mid–plane to a nearly uniaxial tension

along the hoop direction [15]. A 2D plane–stress finite element model is used to

simulate EDC tests. Only a part of the tube (r,θ) cross–section is represented. A

geometrical flaw 1000 times smaller than the specimen thickness is introduced

to force strain localization to occur in a given region without modifying the

structure behavior. A radial displacement is imposed to the inner surface of the

sample in order to simulate radial expansion of the pellet.

Calculations performed with the model parameters identified on AT tests

results satisfactorily predict hoop strains at failure for the material hydrided at
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about 800wt. ppm and 1200wt. ppm (Fig. 12). A good agreement is also ob-

tained for the non–hydrided material and the material hydrided at 400wt. ppm

by using the parameters adjusted on the results of HT and EDC tests, both re-

sulting in hoop tension of the cladding specimen. The ductility of the material

non–hydrided or hydrided at 400wt. ppm is logically under–estimated by the

model with parameters tuned for AT tests. Once again, this suggests that void

nucleation in the non–hydrided or moderately hydrided material is anisotropic.
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Figure 12: Experimental and calculated hoop strains at failure of EDC specimens tested at

room temperature. Results of calculations performed with parameters adjusted on HT and

EDC tests data are included.

According to the calculations, failure initiates, at room temperature for all

tested hydrogen contents, at the specimen inner surface, where plastic strain is

the highest (Fig. 13). The simulation predicts strain localization bands inclined

at 45◦ from the hoop direction, in accordance with the macroscopic fracture

plane observed for the non-hydrided material.

4.4. Hoop plane strain tensile test

Apart from the dimensions of the specimen and the D–shaped mandrels, the

model used to simulate PST tests is similar to that already described for HT

tests. A mesh size of 200×200×200µm (instead of 100×100×100µm for other

tests) is used in order to keep reasonable computation times.
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(a) (b)

Figure 13: Total porosity fields calculated at crack initiation of EDC specimens tested at room

temperature: (a) 25 ◦C, non–hydrided material, (b) 25 ◦C, material hydrided at 1200wt. ppm.

Experimental plastic displacements at failure are lower than those calculated,

probably due to the instability of the tensile machine and/or to an imperfect

description of strain localization (highly dependent on strain hardening and

strain rate sensitivity) and/or friction between the specimen and the D–shaped

mandrels. The load level is under–estimated by the simulation at low plastic

displacement levels. As already mentioned for HT tests, this may be attributed

to an approximate description of the material strain hardening along the hoop

direction, the proposed model not taking kinematic hardening into account.

This may have an effect on the plastic displacement at which strain localization

occurs but not on local strains at failure.

Hoop strain fields at the sample outer surface just before crack initiation are

well reproduced by the simulations (Figs. 14 and 15). Thus, local strains at

failure calculated with the model parameters identified from AT tests results are

not under–estimated as for HT and EDC tests, although PST specimens are also

predominantly loaded along the hoop direction. One can conclude that damage

kinetics is faster during PST tests than during HT and EDC tests and that

damage is influenced by the local stress state. Experimentally, failure of non–

hydrided PST specimens tested at room temperature and hydrided specimens

tested at 350 ◦C and 480 ◦C occurs in the plane strain area by through–thickness

shear–dominated strain localization. When the stress state is dominated by
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shearing, the volume of voids hardly evolves whereas their shape and orienta-

tion are significantly modified [8]. Then, although porosity in the strict sense

does not evolve much, the deformation of voids has a strong effect on material

softening [51, 52, 53]. The proposed model intrinsically reproduces the effect

of triaxiality on void growth but does not account for this last phenomenon,

associated with the effect of the Lode parameter (second measure of stress state

in addition to stress triaxiality) [54]. Let us note that a phenomenological mod-

ification of the GTN model was proposed [53] in order to account for material

softening under shear conditions, by introducing a dependence to the Lode pa-

rameter.

Figure 14: Green–Lagrange hoop strain fields calculated by FEA and measured by DIC just

before failure at the outer surface of a non–hydrided PST specimen tested at room tempera-

ture.

For the hydrided material tested at room temperature, the simulations cor-

rectly predict crack initiation at the root of notches at the inner surface of the

specimen (Fig. 16). This confirms that for these conditions, the assumption of

independence on triaxiality of the damage model parameters is valid, at least

for the studied range of triaxialities. According to the model, failure of the

non–hydrided specimens tested at room temperature or at 480 ◦C initiates at

the root of notches (Fig. 16) whereas it initiates in the plane strain area at

the specimen inner surface during the experiments. Nevertheless, at crack ini-

tiation, calculated void volume fractions are close in the plane strain area and
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Figure 15: Hoop distribution (position with respect to the mid–length of the sample gauge

section) of Green–Lagrange hoop strains calculated by FEA and measured by DIC at the

onset of fracture, at the outer surface at the mid–width of PST specimens tested at room

temperature.

at the root of notches. Then it is expected that the location of crack initiation

could have been well predicted by adjusting model parameters for these specific

tests and/or by taking into account material softening due to shear deforma-

tion of voids. In spite of these imperfections, strain and porosity fields at crack

initiation are in agreement with the experimental specimen failure profiles [8].

5. Conclusions

A model has been proposed to describe the mechanical behavior and the

ductile failure at 25, 350 and 480 ◦C of Zircaloy–4 cladding tubes as-received

and hydrided up to 1200wt. ppm (circumferential hydrides). The model is based

on an extension of the Gurson–Tvergaard–Needleman model which includes a

description of plastic anisotropy and viscoplasticity. Debonding of the interface

between the Laves phase precipitates and the matrix and hydride cracking are

taken into account to describe damage nucleation. Void nucleation around Laves

phase precipitates is assumed to be controlled by plastic strain. The kinetics of

damage nucleation by hydride cracking at room temperature is directly deduced

from quantitative microstructural observations. It is expressed as a function of
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(a) (b)

(c)

Figure 16: Total porosity fields calculated at crack initiation of PST specimens: (a) 25 ◦C,

non–hydrided material, (b) 480 ◦C, non–hydrided material, (c) 25 ◦C, material hydrided at

1200wt. ppm.
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plastic strain, hydrogen content and temperature. The other model parameters

were numerically identified on the basis of experimental tests results. It is shown

that the critical porosity leading to void coalescence is lower when damage is

associated with Laves phase precipitates than with hydrides.

The prediction capability of the model, used for finite element analysis, was

evaluated by comparison to the results of axial tension, hoop tension, expansion

due to compression and hoop plane strain tension experiments. The calculations

satisfactorily reproduce the combined effects of hydrogen and temperature on

the viscoplastic and the failure properties of the material. A better agreement

between calculated and experimental results is obtained when considering that

void nucleation, due to hydride cracking and to debonding of the interface be-

tween the Laves phase precipitates and the matrix, occurs for a higher plastic

strain under hoop tension than under axial tension. Furthermore, the results

suggest that damage is influenced by the stress state but also that stress triax-

iality is maybe insufficient to describe all damage features, such as important

softening under shear–dominated stress state. Since the anisotropy of damage

and the potential effect of the Lode parameter on damage are not yet taken into

account, the model cannot be fully predictive but can be regarded as a suitable

tool for a better comprehension of the local damage mechanisms of the material

and the global fracture modes of the specimens.
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